This paper is devoted to parametric study on creep-fatigue endurance of the steel type 316N(L) weldments at 550
Introduction
According to industrial experience, during the service life of welded structures subjected to cyclic loading at high temperature, welded joints are usually considered as the critical locations of potential creep-fatigue failure. This is caused by higher stress concentration, altered and non-uniform material properties of weldments compared to the parent material of the entire structure. Therefore, creep and fatigue characteristics of welded joints are of a priority importance for long-term integrity assessments and design of welded structures. There were many attempts to develop analytical tools [1, 2, 3, 4] to estimate long-term strength of welded joints under variable loading. However, residual life assessments are frequently complicated and inaccurate because of complex material microstructure and too many parameters affecting the strength of welded joints. They include technological parameters of welding process and post-weld heat treatment, accuracy of modelling of weldment material microstructure, influence of residual stresses and distortions, geometrical parameters of the shape of the weld profile and non-welded root gaps, parameters of service conditions such as temperature, mechanical loading and dwell period. In view of the complexity of a unified model development for the assessment of creep-fatigue strength, there are a limited number of existing analytical approaches, but none of which are able to account for all of weldment parameters mentioned above. Thus, long-term strength of weldments is a wide research area, which requires some unified integral approach able to improve the life prediction capability for welded joints. The most comprehensive overviews of studies devoted to investigation of influence of various parameters on fatigue life of welded joints are presented in [1, 2, 3, 4] .
It should be noted that the influence of creep on residual life is not investigated in these works. However, the recent edition of the British Standard 7910 [5] presents some basic guideline for the assessment of flaws in austenitic and ferritic weldments in creep-fatigue conditions. Moreover, BS 7910 [5] includes methods for assessment of fracture,
Parametric models of weldments

Geometrical relations
Referring to [1] , generally creep-fatigue test results of weldment specimens contain various levels of scatter, which is usually caused by geometric and processing variations such as part fit-up, weld gap, variation in feed rates, travel rates, weld angles, etc. This scatter complicates the interpretation of test results, and often makes it nearly impossible to differentiate the effects of geometry, material non-uniformity, residual stress and other factors. It has been indicated [1] that one of the most critical factors affecting the creep-fatigue life of a welded joint is the consistency of the crosssectional weld geometry. The simplified weld profile is usually characterised by the following geometric parameters [1] : plate thickness, effective weld throat thickness, weld leg length, weld throat angle, and weld toe radius. Usually, the weld profile is assumed to be circular for type 1, circular or triangular for type 2, and triangular for type 3 weldments with fillets on toes connecting with parent plates. A vast quantity of researches reviewed in [1, 2, 3, 4] has been devoted to investigation of effects produced by these parameters on residual life. Designations of parameters for type 3 weldment profile and applied bending moment, according to [26, 27] In the present study, the geometry of the weld profile for type 3 weldment is more completely specified in order to investigate its as-welded, dressed and intermediate configurations. The basis of the parametric model for type 3 weldment shown in Fig. 1 are the sketches of weld profiles and corresponding regulations from British Standards [26, 27] for the weldment, which contains a root gap between the parts to be joined. The type 3 weldment specimen contains 2 symmetric double-sided T-butt cruciform mitre-fillet welds. The parent material for the manufacturing of all specimens are continuous plates of width w = 200 mm and thickness thk = 26 mm made of the steel type AISI 316N(L). The typical division of the weld into three regions is adopted here analogically to [6, 25] including: parent material, weld metal and heat-affected zone (HAZ). It should be noted that the HAZ thickness is assumed to be 3mm based on the geometry given in [8] .
Since the geometry of type 3 weldment profile due to mitre fillet is much simpler compared to the geometry of type 1 and 2 weldments, there are only a few parameters governing this type of geometry. The form of type 3 weld is a isosceles triangle with right angle, as shown in Fig. 1 . It is characterised by the weld throat a, which should be (a ≥ 0.7 thk) according to the standard [26] . The gap between the welded parts h 3 should satisfy the requirement (h 3 ≤ {1 + 0.3 a} mm), but it shouldn't exceed 4 mm according to the standard [27] .
3
The fatigue performance of the original type 3 weld profile is quite poor due to significant stress concentration in the weld toe caused by inconsistency of weld profile in 45
• . Moreover, the gap between the welded parts decreases the effective cross-section limiting it to the only area of weld metal. For the purpose of the fatigue life improvement, different post weld treatment techniques are applied to the weld toe, as a potential location of failure. TIG (tungsten-arc inert-gas) dressing was found in [28] to be the best suited post weld treatment for implementation in mass production compared to burr grinding and ultrasonic impact treatment, because of the large improvement observed in the experiments (up to 40% increase in fatigue strength). Therefore, R 3 in Fig. 1 is the radius of fillet produced by TIG dressing on the weld toe. The angle of discrepancy for the tangency condition between TIG weld metal and patent plate is 5
• , since it is a minimum allowable angle for a finite element in order not to be distorted.
Types 1 and 2 weld profiles were governed in [25] by two geometrical parameters (angles α and β) to characterise different scales of weldment dressing by grinding using five configurations. Analogically, in order to reduce the computational costs, seven configurations of weld profile, listed in Table 1 , are chosen for parametric study of the type 3 weldment. The different scales of TIG dressing are characterised by the parameter ratio between fillet radius and plate thickness: ρ = R 3 / thk. Configuration no. 1 with ρ = 2.0 corresponds to perfectly dressed condition, while configuration no. 7 with ρ → 0 corresponds to as-welded condition.
Finite element models
The FE-mesh for the 2D symmetric model of type 3 weldment is shown in Fig. 2 assuming plane strain conditions. Analogically to [6, 25] , the FE-model includes 5 separate areas with different material properties: 1) parent material, 2) HAZ, 3) weld metal, 4) material without creep, 5) totally elastic material. Introduction of 2 additional material types (material without creep and totally elastic material) representing reduced sets of parent material properties in the location of bending moment application avoids excessive stress concentrations. The FE-model is meshed with ABAQUS element type CPE8R: 8-node biquadratic plane strain quadrilaterals with reduced integration. The FE-mesh for type 3 weldwent contains the range of elements from 1008 for Conf. 1 to 908 for Conf. 7 (ρ → 0) respectively.
The basic testing [8, 9, 10, 11] was performed at 550±3
• C under fully-reversed 4-point bending with total strain ranges ∆ε tot of 0.25, 0.3, 0.4, 0.6 or 1.0% in the parent plate and hold periods ∆t of 0, 1 or 5 hours using a strain rate of 0.03%/s. For the purpose of shakedown and creep analysis using LMM, the conversion from strain-controlled test conditions to force-controlled loading in the simulations using bending moment M has been explained in [6] .
Another effective analysis technique, successfully employed in [6] , was to apply the bending moment M through the linear distribution of normal pressure P over the section of the plate as illustrated in Fig. 2 with the area moment of inertia in regard to horizontal axis X: I X = w thk 3 / 12, where the width of plate w = 200 mm and the thickness of plate thk = 26 mm. Therefore, the normal pressure is expressed in terms of applied bending moment M and vertical coordinate y of plate section assuming the coordinate origin in the mid-surface:
Mechanical properties of the materials composing cruciform weldment manufactured of the steel AISI type 316N(L) include the following material behaviour models at 550
• C [6]:
1. Ramberg-Osgood (R-O) model for the plastic and total strains under saturated cyclic conditions:
2. S-N diagrams for the number of cycles to failure caused by pure low-cycle fatigue (LCF):
3. Power-law model in "time hardening" form for creep strains during primary creep stage:
4. Reverse power-law relation for the time to creep rupture caused by creep relaxation during dwells:
5. Non-linear diagram for creep-fatigue damage interaction [29] to define total number of cycles to failure: 
Plastic bending of plates
Solution with Ramberg-Osgood model
The R-O model (1) has the advantage that it can be used to accurately represent the stress-strain curves of metals that harden with plastic deformation, showing a smooth elastic-plastic transition at high temperatures. It establishes the relation between the total strain range ∆ε tot and the equivalent stress range ∆σ in MPa using the material constants B and β to describe plastic strain and the Young's modulus E in MPa and the Poisson's ratio ν to describe elastic strain.
Although this relationship (1) is not explicitly solvable for stress range ∆σ, an approximate solution for ∆σ can be found using following recursive formulation:
where the initial iteration is defined as
For the case of plastic bending of a plate with a rectangular cross-section, i.e. as was used in the experimental studies implemented by Bretherton et al. [8, 9, 10, 11] , it is possible to formulate an analytic relation using the R-O material model for the applied bending moment M as proposed in [30] :
where the maximum normal stress over a cross-section or edge-of-plate stress σ eop is defined based upon the plane strain assumption using equivalent stress σ
and the ratio between plastic and elastic strains is
Other parameters of relation (8) include the material constants of the R-O model (β, B,Ē) and the geometric parameters of a plate (thk and w). For the case of reverse bending tests of cruciform weldments at 550
• C implemented by Bretherton et al. [8, 9, 10, 11] , the total strain range ∆ε tot in outer fibre of parent material plate remote from weld was controlled to correspond to one of the required values. Knowledge of the stabilised cycle parent material properties of the steel AISI type 316N(L) described by the R-O model (1) reported in Table 1 of [6] and geometric parameters of specimen (thk = 26 mm and w = 200 mm) allows the calculation of the values of bending moments applied in experiments [8, 9, 10, 11] during the period of saturated cyclic response, as reported in Table 2 .
Referring to [30] , Eq. (8) gives a smooth variation of moment with strain, which could be derived analytically employing recursive formulas (6) and (7) for ∆σ dependent on ∆ε tot . Applying the recursive approach, the dependence of total strain range ∆ε tot on applied moment M could be obtained. Firstly, Eq. (8) is inverted to recursive formula taking into account Eq. (9):
∆σ n and n ≥ 3,
Secondly, the conventional formulation of the R-O model (1) is applied to evaluate the total strain range ∆ε tot corresponding to the equivalent stress range obtained in Eqs (11) and (12) . Such a useful relation for ∆ε tot (M) allows the estimation of an important control parameter of the LCF experiments, when the geometry of specimen is known and plastic deformation of a material is comprehensively described by the R-O model. Figure 3 illustrates the application of both approaches (direct by Eqs (6-10) and inverted by Eqs (1, 11, 12) ) to the parent material plate used in the experiments [8, 9, 10, 11] with particular dimensions of cross-section (thk = 26 mm and w = 200 mm) and particular material properties described by the R-O model (E = 160 GPa, ν = 0.3, B = 1741.96 MPa, β = 0.2996). 
Evaluation of limit load
It is usually preferable to convert the absolute values of bending moment M into values of normalised bending momentM, which is suitable for the formulation of an analytic assessment model for number of cycles to creepfatigue failure N ⋆ , as proposed in [6] . Referring to [6] ,M is defined as the relation of variable bending moment range
where M sh is called initial yielding moment [30] and corresponds to the loading conditions, when yielding is just beginning at the edge of a beam profile. The limit load and shakedown limit are evaluated with an elastic-perfectly-plastic (EPP) model and a von Mises yield condition using material properties corresponding to the saturated cyclic plasticity response (E, σ y and ν) reported in Table 1 of [6] for the steel AISI type 316N(L) at 550
• C.
6 In the case of a rectangular cross-section plate in bending, assuming plane strain conditions (9) , M sh is defined analytically according to [30] as
The values of bending moment exceeding M sh with further growth of plastic strain gradually approach the limit load value or fully plastic moment, which is defined analytically [30] as
When M reaches the value of M lim , it is assumed that the plate cross-section is completely in plastic flow leading to a plastic hinge and structural collapse. It should be noted that the ratio M lim /M sh = 1.5 changes if the cross-sectional shape is not rectangular or if a plate with rectangular cross-section contains welds. Refer to [30] for other cases of a beam cross-section. In particular case of types 1, 2 or 3 weldments availability, the value of M lim remains the same, because the σ y values of weld associated materials are usually higher than the σ y of parent material. So plastic hinge usually occurs in locations remote from weld for uniformly distributed bending moment. At least, this assumption is true for the steel AISI type 316N(L) at 550
• C [6] . However, the value M sh for welded plate usually decreases, since the yielding starts at lower values of applied bending moment M comparing to whole plate, because of material and geometry non-uniformity. In [6] , this ratio was called the maximum normalised bending moment
ParameterM max had a value of 1.551 for type 2 dressed weldment as defined in [6] , and values in ranges from 1.509 for dressed to 2.323 for as-welded type 1 weldments and from 1.516 for dressed to 2.301 for as-welded type 2 weldments. SoM max is dependent on the particular geometric configuration of the weldment, and therefore should be taken into account in the formulation of parametric relations. Following this assumption and Eqs (13) and (16) the normalised bending moment is introduced in the following form:
Thus, the awareness of the parent material yield stress σ y of the steel AISI type 316N(L) reported in Table 1 of [6] and geometrical parameters of specimen (thk = 26 mm and w = 200 mm) allows the calculation of the limit bending moment as M lim = 10.564 [kN · m] for the conditions of experiments [8, 9, 10, 11] . If the weld geometry is the same as in the cruciform weldment specimens, thenM max = 1.551 and the values of normalised bending moment M in experiments [8, 9, 10, 11] are calculated as reported in Table 4 of [6] . For other geometrical configurations of weldments, the set ofM will be slightly different, becauseM max is individual for each weld type and geometrical configuration and were estimated numerically using step-by-step FEA. Table 3 lists not only the values ofM max corresponding to the configurations defined in Table 1 for type 3 weldments, but it also contains values ofM max for two additional configurations 8 and 9 defined by ρ of 0.15 and 0.125. These all values are calculated by Eq. (16), which includes the values of M lim and M sh obtained numerically for each of the 9 configurations using step-by-step FEA with an EPP material model. Using the values of M from Table 2 , the values ofM max reported in Table 3 and the value of M lim = 10.564 [kN · m], the values of normalised momentM for each configuration and each ∆ε tot can be calculated by Eq. (17) . Thus, in order to provide the values ofM in fully analytical form, the values ofM max are defined as dependent on the geometric parameter of the weld profile ρ: Table 3 by the analytic functionM max 3 (ρ) in the form of Eq. (18) is illustrated in Fig. 4 .
Finally, taking Eq. (15) for the bending moment M and Eq. (8) for the fully plastic moment M lim , which are both dependent on material properties (E, ν, B, β, σ y ) and parameters of plate cross-section (w and thk), and Eq. (18) for the maximum normalised momentM max 3 dependent on parameter of weld profile ρ, and using them in Eq. (17) results in the fully parametric formulation of the normalised bending moment dependent on total strain rangeM(∆ε tot ).
Structural integrity assessments
Numerical creep-fatigue evaluation
Since the objective of the research is a formulation of parametric relations able to describe long-term structural integrity of weldments, the creep-fatigue strength of each configuration from Table 1 should be evaluated in a wide range of loading conditions. These conditions are presented by different combinations of ∆ε tot in the parent plate outer fibre, as a characteristic of fatigue effects, and duration ∆t of dwell period, as a characteristic of creep effects. The set of 5 values for ∆ε tot is the same as in the experimental studies [8, 9, 10, 11] , see Table 2 . The set of ∆t values used is the same as in the previous simulation study [6] : 0, 0.5, 1, 2, 5, 10, 100, 1000 and 10000 hours. Therefore, for each of 7 configurations for type 3 weldment 45 creep-fatigue evaluations must be performed with different values of ∆ε tot and ∆t, analogically to [25] for type 1 and 2 weldments. In the scope of parametric study, 315 FE-simulations of the parametric models shown in Fig. 2 have been carried out, using the LMM method, material models and constants given in [6] . The outputs of the LMM have been processed by the creep-fatigue procedure proposed in [6] to evaluate all the values of number of cycles to failure evaluate N ⋆ . The concept of the proposed creep-fatigue evaluation procedure, considering time fraction rule for creep-damage assessment, is explained in detail in [6] and consists of 5 steps including estimation of:
1. Saturated hysteresis loop using the LMM; 2. Fatigue damage using S-N diagrams; 3. Stress relaxation with elastic follow-up; 4. Creep damage using creep rupture curves; 5. Total damage using an interaction diagram. Since the LMM requires lower computational effort compared to other methods, it appears to be an effective tool for express analysis of a large number of different loading cases using automation techniques. In order to carry out hundreds of FE-simulations in CAE-system ABAQUS and retrieve corresponding values of N ⋆ , 3 analysis improvements using automation techniques have been developed in this parametric study, which are illustrated in the form of flowchart in Fig. 5 . The key elements of this flowchart are following:
1. The stand-along application allows running automatically the sequence of analyses with different values of applied bending moment and dwell period. 2. The UMAT subroutine written in FORTRAN comprises all 5 steps of the proposed creep-fatigue evaluation procedure, and implementation of the LMM and material models. 3. In order to process the results from hundreds of ODB-files, a Python script has been developed, which identifies the locations with minimum number of cycles to failure and extracts them into text file along with numbers of element and node.
The first automation technique is the development of a stand-alone application using Embarcadero Delphi integrated development environment using Delphi programming language. This simple application automatically carries out the sequence of all FE-simulations with different values of M and ∆t for each configuration from Table 1 . This is implemented by automated modification of the UMAT subroutine including changing of loading values (M and ∆t) and output file names, therefore producing individual ABAQUS result ODB-file for each loading case.
The second automation technique is the embedding of all 5 steps of the proposed creep-fatigue evaluation procedure in FORTRAN code of user material subroutine UMAT containing the implementation of the LMM and material models described in [6] . For a detailed description of the numerical procedure for the creep strain and flow stress estimation in the LMM code refer to [7, 24] , and for a general guide to the LMM implementation using the ABAQUS user subroutines refer to [23] . The creep-fatigue evaluation procedure is implemented once the LMM has converged upon the stabilised cyclic behaviour. The LMM analysis was performed using three load instances in the cycle with creep dwell: 1) end of direct loading, 2) end of dwell period, 3) end of reverse loading. This results in a saturated hysteresis loop in terms of effective strain and effective von Mises stress for each integration point in the FE-model, as shown in Fig. 5 of [6] . The most important parameters (derived in the 1st step of the procedure) for further creepfatigue evaluation are the total strain range ∆ε tot , stress σ 1 at the beginning of dwell period and the elastic follow-up factor Z. These parameters from each integration point with material properties for elasticity, fatigue and creep, defined in the ABAQUS input file, are transferred into a new subroutine. This subroutine implements the next 4 steps of the procedure [6] [29] . It should be noted that this evaluation procedure was implemented in previous work [6] using Excel spreadsheets only for the most critical locations, identified manually as sites of ∆ε tot and σ 1 maximum values.
Examples of the FE results for the types 1 and 2 weldments in typically dressed (no. 2) configuration can be found in [6, 25] . Those contour plots correspond to the loading case of ∆ε tot = 1% and ∆t = 5 hours. [25] show the outputs of the creep-fatigue evaluation procedure for type 1 and type 2 weldments correspondingly including ω cr , ω f , ω tot and N ⋆ . The critical location with N ⋆ = 206 for type 1 is the same as for analogical type 2 weldment with N ⋆ = 279 -the corner element in the weld toe adjacent to HAZ. Exactly the same approach is used to demonstrate an example of the type 3 weldment comprising the typically dressed configuration (no. 3 from Table 1 ) and loading case of ∆ε tot = 1% and ∆t = 5 hours. Figure 6 shows the outputs of FEA with the LMM, while Fig. 7 shows the outputs of the creep-fatigue evaluation procedure. The critical location with N ⋆ = 379 for this type 3 is the same as for analogical types 1 and 2 weldments -the corner element in the weld toe adjacent to HAZ.
The distribution of total strain range ∆ε tot , with maximum value ∆ε max tot = 1.143 % at the critical location, is shown in Fig. 6a . The distribution of equivalent creep strain ε cr at load instance 2 with maximum value ε cr max = 1.745 · 10
at the critical location is shown in Fig. 6b . The distribution of equivalent von Mises stress σ eq vM at the beginning of dwell at load instance 1 with value σ eq 1 = 320.712 MPa at the critical location is shown in Fig. 6c . The distribution of equivalent von Mises stress σ eq vM at the end of dwell at load instance 2 with value σ eq 2 = 276.063 MPa at the critical location is shown in Fig. 6d . Therefore, the drop of stress ∆σ eq = 44.649 MPa during ∆t = 5 hours of dwell provides the value of elastic follow up factor Z = 5.5.
The distribution of pure creep damage ω cr with maximum value ω max cr = 1.001 · 10 −3 at the critical location is shown in Fig. 7a . The distribution of pure fatigue damage ω f with maximum value ω max f = 0.763 · 10 −3 at the critical location is shown in Fig. 7b . The distribution of total damage ω tot with maximum value ω max tot = 1.765 · 10 −3 at the critical location is shown in Fig. 7c . The distribution of N ⋆ with minimum value N ⋆ min = 379 at the critical location is shown in Fig. 7d .
In spite of the same critical location and almost equal values of the accumulated total damage at failure for types 1, 2 and 3 weldments, type 1 has minimum residual life compared to other types, because of higher values of parameters characterising the hysteresis loop (∆ε tot , ε cr , σ eq 1 , σ eq 2 and Z). The reduced residual life is effected by the smaller weld deformation stiffness caused by smaller overall size of the type 1 weld profile compared to types 2 and 3.
The third automation technique is the development of a script using ABAQUS Python Development Environment (Abaqus PDE) using Python programming language [31] . This script, when started in ABAQUS environment, appends 
Analytic assessment model
For each of the 7 configurations from Table 1 , the array of assessment results consisting of 45 values of N ⋆ corresponding to particular values ofM and ∆t is fitted using the least squares method by the following function proposed in the form of power-law in [6, 25] :
where the fitting parameters dependent on ∆t are a (∆t) = a 3 log (∆t + 1) 3 + a 2 log (∆t + 1) 2 + a 1 log (∆t + 1) + a 0 and
and the independent fitting parameters (a 0 Table 4 should be defined as dependent on geometric parameter ρ using the least squares method:
The verification of the fit quality using the the geometrical parameter ρ for the proposed relations (21) is implemented by applying Eqs (19) and (20) to estimate N ⋆ . Number of cycles to failure N ⋆ is estimated for each of the 7 configurations using the corresponding values of ratio from Table 1 and for the same load combinations as were used for the LMM analyses. The results of the verification are illustrated on diagram in Fig. 8 for type 3 weldments in the form of N ⋆ obtained with the analytic function (19) vs. N ⋆ obtained with the LMM. Comparison of the analytic and numeric N ⋆ shows that the quality of analytic predictions is quite close to the line of optimal match and provides a uniform scatter of results through all variants of loading conditions and configurations. The discrepancy between analytic predictions and numerical LMM outputs is generally within the boundaries of an inaccuracy factor equal to 2, which is allowable for engineering analysis, producing both conservative and non-conservative results.
It should be noted that the scatter of N ⋆ for type 3 weldments approximately belongs to the range from 5 to 300,000 as shown in Fig. 8 . It is slightly different from the scatter for type 2 weldments (approx. from 4 to 100,000) shown in Fig. 9 of [25] and the scatter for type 1 weldments (approx. from 2 to 500,000) shown in Fig. 8 of [25] . This observation shows that type 1 weldment is less creep-fatigue resistant than types 2 and 3 weldments in the same ranges of loading conditions and manufacturing variations. This fact could be explained by the significantly smaller amount of weld and parent material used for manufacturing of type 1 weldment compared to the types 2 and 3 for the same plate thickness, resulting in less rigidity and load-bearing capacity for type 1 weldment. Another important observation is that the average creep-fatigue resistivity of configuration no. 1 (perfectly dressed) is relatively the highest among all configurations. The average resistivity is slightly reducing from one configuration to another with the reduction of ratio ρ value as shown in Fig. 8 , resulting in the minimum average N ⋆ for the configuration no. 7 (as-welded).
Having defined the number of cycles to failure N ⋆ by Eq. (19) , the residual service life in years is dependent on the duration of 1 cycle, which consists of dwell period ∆t and relatively short time of deformation:
whereε = 0.03%/s is a strain rate according to experimental conditions [8, 9, 10, 11] , and the parametric analytical relations for ∆ε tot (M) are derived in Sect. 3. These relations consist of Eqs (1), (11) and (12) given in Sect. 3.1 to evaluate ∆ε tot (∆σ(M)), where M is replaced byM and M lim using Eq. (17) andM max using Eq. (18) given in Sect. 3.2. The aforementioned group of equations for the relation ∆ε tot (M) include the geometrical parameters of parent plate cross-section (thk and w) and weld profile (ρ), and parent plate material parameters (E, ν, B, β, σ y ). This group of equations (1), (11), (12), (17) and (18) replaces Eq. (34) from [6] , which is suitable for only one particular variant of weldment (type 2), weld profile (conf. 2 -typically dressed) and parent plate cross-section [8, 9, 10, 11] .
Parametric formulation of FSRF
Since fatigue experimental data is usually obtained from an ideal controlled test environment, a Fatigue Strength Reduction Factor (FSRF) is an usual approach, which allows to account for a real working environment resulting in a reduction of residual life. For example in [32] , a FSRF is introduced as scaling factor in stress-life approach to account for the influence of aggressive corrosive environment. The S-N curve obtained in vacuum is used as a basic curve, while the curves for different grades of corrosive effect can be evaluated by transformation of the basic S-N curve using a corresponding FSRF. The same approach can be extended to strain-life approach, where FSRF is calculated as a relation between the strain range on the basic fatigue curve and the strain range on the effected fatigue curve leading to the same number of cycles to failure, and it is also usually averaged over the defined strain range. In strain-life approach FSRF accounts for influence of temperature increase or creep dwell period increase or geometrical effects such as introduction of weld or change of weld profile. In this research, the basic curve is the fatigue curve obtained for whole plate manufactured of the parent material -steel type 316N(L) at 550
• C without creep dwell periods. Effected curves are the curves for welded plates obtained with different dwell periods and for different weld profile geometries, as shown in Fig. 9 .
Since the function N ⋆ (M, ∆t) proved its validity in the previous subsection, it can be applied for the fast creepfatigue assessments of new welded structures during the design stage. However, it is generally hard to conclude about the service conditions (M, ∆t) required to estimate particular value of N ⋆ . Loading conditions comprise a wide range of mechanical loading described byM or corresponding range of ∆ε tot in parent material adjacent to welded joints. Thus, introduction of a FSRF allows a wide range of mechanical loading relevant to application area of a designed welded structure to be captured. The FSRF is usually determined experimentally [8, 9, 10, 11, 33, 34] by comparing the fatigue failure data of the welded specimen with the fatigue curve derived from tests on the parent plate material. The current approach in R5 Volume 2/3 Procedure [12] operates with the fixed values of FSRF for 3 different types of weldments taking into account dressed and as-welded variants, which consider only the reduction of fatigue strength of weldments compared to the parent material. For austenitic steel weldments [34, 33] , FSRF = 1.5 is prescribed for both variants of type 1, and FSRF = 1.5 for type 2 dressed and FSRF = 2.5 for as-welded variant, and FSRF = 3.2 is prescribed for both variants of type 3. All this variety of the FSRFs is representative of the reduction in fatigue endurance caused by the local strain range ε tot enhancement in the weldment region due to the material discontinuity and geometric strain concentration effects. The introduction of FSRF as dependent on ∆t in [6] using function N ⋆ (M, ∆t) for the case of type 2 dressed weldment allowed the influence of creep to be taken into account, and to provide the adjusted values of FSRF for the real operation conditions, where creep-fatigue interaction takes place. Therefore, the same approach [6] is applied to obtain ∆t-dependent FSRFs for a variety of geometrical configurations considering additional dependence on parameter of weld profile ρ.
For this purpose Eq. (19) is converted analytically to the relationM(N ⋆ , ∆t) and inserted into the group of relations ∆ε tot (M) given in the end of previous subsection, resulting in the relation ∆ε tot (N ⋆ , ∆t, ρ). This relation describes the ∆ε tot in the parent material remote from weldment corresponding to particular values of N ⋆ and ∆t for a particular geometrical configuration of weldment defined by ρ. Figure 11 : Contour plots for type 3 weldment characterising the influence of geometric parameter ρ on number of cycles to failure N ⋆ for different variant of dwell period ∆t obtained with Eqs (19) - (21) plate and S-N diagrams for a weldment defined by ρ:
where the S-N diagram for parent material plate is log ∆ε
assessment. This procedure has been validated in [6] against experimental data [8, 9, 10, 11] comprising reverse bending tests of cruciform weldments for different combination of loading conditions. Parametric model shown in Figs 1 and 2 allows the variation of parameter ρ governing shape of the weld profile and loading conditions (∆t andM). Seven configurations, characterised by individual values of ρ listed in Table 1 , are proposed to present different grades of TIG dressing. For each configuration, the total number of cycles to failure N ⋆ in creep-fatigue conditions is assessed numerically for different loading cases using automation techniques shown in Fig. 5 and explained in Sect. 4.1. The obtained set of N ⋆ is extrapolated by the analytic function (19) dependent oñ M with fitting functions (20) dependent on ∆t, which includes the fitting parameters (21) dependent on ρ.
Proposed function (19) for N ⋆ shows good agreement with numerical results obtained by the LMM in Fig. 8 . The discrepancy between analytic predictions and numerical LMM outputs is generally within the boundaries of an inaccuracy factor equal to 2, which is allowable for engineering analysis, producing both conservative and nonconservative results. Thus, it is used for the identification of FSRFs intended for design purposes and dependent on ∆t and ρ. The proposed function for FSRFs (23) is applied to all 7 configuration from Table 1 characterised by ρ in order to obtain continuous dependencies on ∆t, which are shown in Fig. 10 . Therefore, this approach improves upon existing design techniques, e.g. in R5 Procedure [12] , by considering the significant influence of creep. Moreover, the obtained FSRFs for pure fatigue revises the value recommended in R5 Procedure [12] removing the redundant conservatism for type 3 dressed weldments. In order to confirm the applicability of the proposed improvements, the analytical formulations for FSRFs still need final validation against some additional experiments.
Both numerical and analytical predictions (19) confirm that TIG-dressing can improve up to 10 times the residual life of type 3 weldments in pure fatigue conditions and up to 100% the residual life of weldments in creep-fatigue conditions. In order to conclude about the sensitivity of creep-fatigue strength to a variation of ρ, the Eqs (19) - (21) for N ⋆ (M, ∆t, ρ) are applied to create a set of contour plots shown in Fig. 11 . These plots characterise the influence of geometrical parameter ρ and mechanical loading intensityM on N ⋆ at 3 different variants of dwell periodM for type 3 weldment. The global tendency is that ρ generally decreases the strength, whileM generally increases it. However the contribution of each parameter (ρ andM) is dependent on type of creep-fatigue interaction characterised by the dwell duration ∆t. The positive influence of ρ is much more significant at pure fatigue conditions than under the creep-dominant conditions, where it is suppressed by stress relaxation caused by creep. Since the creep-relaxation reduces the stress in locations of its concentration, the intensity of mechanical loading becomes more important under pure creep conditions.
